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In this study, we investigate film cooling on an inclined flat plate in a laminar supersonic flow. The influence of the
most relevant parameters, the Mach and Reynolds numbers of the freestream, the blowing ratio, and the blowing
geometry, is examined using numerical simulations and in experiments. Importantly, a correlation factor that
describes the effect of the most important parameters for a large range of flow conditions has been developed from a
simple heat balance model. Unlike the results for turbulent conditions that are typical for cooling turbine blades,
interestingly, we have found that considerably less cooling gas mass flows are needed to cool the surface over a large
area. In laminar boundary layers no turbulence appears, so that neither the cooling gas strongly mixes with the main
stream nor does the blowing momentum influence the cooling effectiveness, provided that a boundary-layer
transition is not induced by the cooling gas injection. Our results, presented here, agree with the results of previous

investigations of laminar supersonic flow conditions.

Nomenclature
C* = Chapman—Rubesin factor
Cp = specific thermal capacity
F = blowing ratio
F(U) = flux vector in the x direction
G(U) = flux vector in the y direction
H(U) = vector of the viscosity terms
h = enthalpy
k = thermal conductivity
M = momentum ratio
Ma = Mach number
n, = cooling gas mass flow
n, = mass flow entering the mixing layer from the main
flow
Pr = Prandtl number
q = wall heat flux
Re, = unit Reynolds number behind the front shock
Re, = Reynolds number based on x’
s = slot width in the streamwise direction
T = mean temperature in the mixing layer
T, = adiabatic wall temperature for the case with cooling
T. = recovery temperature

Ty, = total temperature of the cooling gas

t = slot width in the spanwise direction

U = state vector

u = velocity in the x direction

v = velocity in the y direction

X = distance from the leading edge, parallel to the model
surface

Xrof = empirical reference length

X, = distance from the leading edge to the center of the
blowing opening

x = distance from the center of the blowing opening

y = distance normal to the model surface

8 = boundary-layer thickness

n = cooling effectiveness
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A = heat transfer coefficient
7 = dynamic viscosity

& = correlation factor

P = density

o = Mach angle

Q = blowing angle
Subscripts

c = with cooling

nc = no cooling

e = boundary-layer edge
00 = freestream

0 = stagnation conditions
Superscript

* =

values determined at the reference temperature

I.

OST of today’s thermal protection systems (TPS) for

hypersonic flight vehicles can be described as passive, that is,
they cannot be adjusted to the actual heat loads during flight and they
do not directly affect the flow around the body to reduce the thermal
loads. Therefore, the peak heat load is the design criterion for the
entire flight path. An apt example of this kind of TPS is the heat shield
of the American space shuttles. Here, materials with very low
thermal conductivities are used to protect the main structure from
heat loads during reentry into the atmosphere [1]. For different
vehicle regions that show varying heat loads, the TPS is adapted such
that diverse materials and wall thicknesses are used to reduce the
weight of the TPS as much as possible. Mostly laminar flow
conditions take place during the critical reentry phase, and the
postshock Mach number typically varies from 1 to 4 at a40 deg angle
of attack. Turbulent boundaries occur only further downstream from
the leading edges and near deflected flaps where shock boundary-
layer interactions take place.

One alternative to passive thermal protection systems is the active
film-cooling technique, which is currently state of the art for cooling
turbine blades. In this technique, mostly air is applied as cooling gas
is introduced into the outer flow, which establishes a cooling film
along the surface to reduce the heat flux penetrating into the wall.
Initial investigations concerning film cooling have been performed
for quasi-two-dimensional slot-blowing configurations. However, in
modern turbine blades, the cooling gas is injected through shaped
holes at the surface to achieve a maximum cooling effect.
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A comprehensive overview of previous studies concerning film
cooling is given in [2]. Therein, theoretical approaches based on an
energy balance in the boundary layer are presented to predict the
cooling effectiveness in an incompressible, turbulent boundary-layer
flow. Furthermore, results of various experimental studies are
summarized and compared with theoretical models. In most of the
investigations presented in [2], very low freestream Mach numbers
ranging from 0.02 to 0.2 have been employed. Usually, in such
investigation, air is used in the freestream and as the cooling gas.
Concerning slot film cooling, numerous investigations have been
performed in the past showing the relevant physical phenomena and
important parameters [3—5].

Recent works concerning the cooling of turbine blades mostly deal
with single-hole injection and the resulting interaction of the
freestream and the cooling gas jets [6—10]. In this case, the flowfield
is dominated by three-dimensional vorticity structures. Usually,
these vortices reduce the average cooling effectiveness. Many
investigations have been conducted to reduce the intensity of these
vortices, for example, by lowering the blowing angle or by shaping
the blowing opening at the surface [7-9] These studies have been
performed for turbulent, subsonic flow conditions that are typical for
turbine flows.

However, for supersonic flow conditions and turbulent boundary
layers, film cooling has been investigated by employing tangential
slot injection [11-14]. One possible application of this is the
cooling of scramjet combustion chambers. In these experiments, the
ratio of the specific cooling gas mass flow to the corresponding
specific freestream mass flow was less than the ratio for turbine
blade cooling. In [11], a correlation factor has been found based on
Goldstein’s approach [2] to correlate the results for different
blowing parameters.

Supersonic tangential injection has also been investigated for
laminar flow conditions [15]. Here, different cooling gases have
been injected along a flat plate behind a downstream-facing step.
Compared with turbulent flow conditions, a significantly higher
cooling effectiveness is achieved for similar cooling gas mass
flows.

Nontangential gas injection is used for fuel injection in scramjets
[16]. In these scramjets, the fuel is injected using different injection
angles. In this case, the fuel gas deeply penetrates into the main
stream due to high blowing momentum, which results in a strong
mixing of the injected gas with the freestream and the formation of a
bow shock in front of the blowing opening. Regarding a desired
cooling of the surface, these effects have to be avoided; therefore,
much lower blowing ratios than for fuel injection are necessary.

Another application field for active cooling is the so-called
transpiration cooling, in which the cooling gas is not injected through
single holes but through porous walls. Besides the film-cooling
effect, an additional cooling effect in the wall can be achieved.
Theoretical and experimental studies concerning transpiration
cooling were published as early as the 1960s [15,16]. In newer
concepts, the active cooling technique is used to cool rocket
combustion chambers, wherein hydrogen is injected through porous
walls into the combustion chamber [17,18].

All these studies show that the active cooling technique is an
effective method for lowering structural thermal loads. This has
motivated us to prove the feasibility of this technique to cool reentry
vehicles during the critical phase of maximum heat loading. Contrary
to the aforementioned investigations, this work deals with the film-
cooling technique as applied to laminar flows using low injection
rates, nontangential injection, and supersonic flow conditions at the
boundary-layer edge as they occur behind the front shock of
hypersonic flight vehicles.

Besides the capacity for thermal protection, another aspect of a
TPS is its reliability. Previously, it became obvious that a small local
failure of the TPS can cause a catastrophic failure of the flight
vehicle. A suitable active cooling system increases the reliability of
the TPS, because a local failure of the system can be compensated for
with sufficient cooling capacity upstream from the damaged part.
The aim of this paper is to experimentally and numerically examine
the fundamental flow phenomena and the performance of active

cooling in hypersonic flows. This cooling technique may
additionally reduce the structural weight of the flight vehicle with
its high effectiveness.

II. General Description of the Flow Problem

To fundamentally investigate film cooling in hypersonic flows, an
inclined flat plate is chosen as the reference case. Furthermore,
experiments are performed at low enthalpy conditions to avoid any
real gas effects, that is, ideal gas behavior can be assumed. Because
flow parameters for this case without cooling have been examined
intensively in previous analytical, numerical, and experimental
studies [19,20], reliable reference data for the inviscid as well as the
viscous flow are available. In our study, the flow problem can be
regarded as two dimensional, because the blowing slots have a
sufficient span.

Ideally, by injecting a cooling gas, a film forms over the surface
and separates the hot flow from the wall. As a result of this added
mass in the boundary layer, it becomes thicker, leading to lower
velocity and temperature gradients at the wall. Moreover, both the
viscosity and the thermal conductivity are reduced by the lower
cooling gas temperature. This causes lower heat fluxes and friction
forces at the wall. In addition, this effect can be influenced by the
heat capacity of the cooling gas. Furthermore, the different flow
conditions between the injected cooling gas and the hot main flow
result in gradients between these two layers (Fig. 1). With an
increasing distance from the blowing opening, these gradients
become smaller and the boundary-layer profiles approach the
undisturbed ones so that the temperature and velocity gradients at
the wall increase again. Moreover, a mixing between the two gases
can be expected, which reduces the cooling effect further
downstream from the blowing opening. In contrast to this, an
increasing cooling effect is expected with an increasing cooling gas
mass flow.

One of the main parameters of the cooling process is the blowing
ratio, F', defined as the specific mass flow ratio of the cooling gas and
the freestream at the boundary-layer edge:
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Furthermore, the momentum ratio, M, between the cooling gas
and the main flow has been found as an important parameter for film
cooling in turbulent flows:
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To describe an active cooling system, a cooling effectiveness, 7, is
defined. The following definition for a stationary flow is common in
the literature concerning the cooling of turbine blades:
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where T, indicates the recovery temperature of the flow, T, . the
adiabatic wall temperature for the case with cooling, and T . the
reservoir temperature of the cooling gas.

X, ! X
>

»

Undisturbed
boundary
layer

=

g%

Cooling gas

Fig. 1 Principle of film cooling.
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For impulse test facilities, especially for shock tunnels as used in
this study for performing experiments, a transformation of the
adiabatic temperatures to the measurable wall heat fluxes is
necessary, because the adiabatic wall temperature is not reached
during the short testing time. This transformation is similar to the
approach given in [11]. In general, the heat flux to the surface can be
expressed as follows:

q. =A- (Taw - Tw) (€]

The maximum change of the surface temperature of the heat flux
sensor during the experiments is about 2 K for the investigated flow
conditions. Regarding the recovery temperature, this temperature
change is negligible for determining the heat flux to the wall. Thus,
the wall temperature can be assumed to be constant at room
temperature. By applying Eq. (4) to the case with cooling (c¢) and the
case without cooling (nc), we obtain an expression for the adiabatic
wall temperature in the case with cooling:
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For the case without cooling, the adiabatic wall temperature is
equal to the recovery temperature of the freestream. Moreover, the
reservoir temperature of the cooling gas is also equal to the ambient
temperature for the considered cases. This leads to a simple formula
of the cooling effectiveness by inserting Eq. (3) into Eq. (3):

n=1--—— (6)

For experiments with the same gas used as coolant and in the main
flow, the heat transfer coefficients A, and A, are assumed to be
equivalent. The temperature level in the region near the wall for both
cases is close to the wall temperature for the considered case of
isothermal walls, and the cooling gas reservoir temperature is equal
to the wall temperature. This leads to constant heat transfer
coefficients, provided that the flow is not disturbed significantly by
injecting the cooling gas, that is, the thickness of the cooling gas layer
is small compared with the thickness of the undisturbed boundary
layer (Fig. 1). The validity of this assumption has already been shown
in previous experimental studies for low blowing ratios [2]. A
measurable change of the heat transfer coefficient has been reported
only close to the injection position in combination with high blowing
ratios (F > 0.5). Thus, the assumption of A, = A, is valid for the low
blowing ratios of the present study (£ = 0-0.15). This is also proved
in Sec. VLE, in which numerical results for the cases of isothermal
and adiabatic wall conditions are compared. If, for high blowing
ratios and high blowing momentum, the cooling gas layer cannot be
regarded as a thin layer or the oncoming boundary layer is
significantly disturbed by the cooling gas injection, the presented
assumption is no longer valid.

III. Theoretical Approach

A theoretical approach for predicting the cooling effectiveness
based on the approach of [2] is presented. In a first step, the influence
of the injection to the oncoming boundary layer is neglected, and a
low speed flow (Ma, < 1) is assumed. Furthermore, it is presumed
that the injected cooling gas and the gas of the main flow form a
mixing layer starting at the slot position (Fig. 2).
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Fig. 2 Control volume for energy balance.

Moreover, a well-mixed flow in the mixing layer, constant ideal
gas properties, and adiabatic walls are assumed. In this case, the
following energy balance holds, wherein the work performed by
viscous forces and variations of the kinetic energy have been
neglected:

(. + e, T = n.c,.T. + e, T, ©)

cbpc
The average specific heat is given by the following expression:
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For Ma, < 1, the recovery temperature of the flow is approximately
equal to the temperature at the boundary-layer edge (T, ~ T,).
Furthermore, we assume that the mean temperature T is constant
along the mixing layer height and is equal to the adiabatic wall
temperature in the case of cooling (T:Taw.(.). Thus, a first

expression for the cooling effectiveness [Eq. (3)] is achieved:
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In [2], the mass flow 71/, which enters the mixing layer from the main
flow, is assumed to be equal to the mass flow of a fictitious
undisturbed boundary layer starting from the injection position
(x' = 0). To determine this mass flow, a simplified approach of the
third order is assumed for the velocity profile in the boundary layer as
follows:

ufu,=a+by/8) +c(y/8)* +d(y/é)’ (10)
The usual boundary conditions for the velocity profile lead to
ufu, =3(v/8) =5 (/8 (11)

which approximates the Blasius solution.
Finally, this yields an expression for the mass flow r1,,:
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The boundary-layer thickness in a laminar incompressible flow
over a flat plate is given by Eq. (13):

§ ~4.64-x - Re ™ 13)

The cooling gas mass flow can be determined by the following
expression:

. = petes =Fs pou, (14)

Inserting Eqs. (12) and (14) into Eq. (9) leads to the following
equation for the cooling effectiveness in laminar, incompressible
boundary-layer flows:

1
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This expression for the cooling effectiveness has been derived
under some rough assumptions. Unlike the assumption of a constant
temperature in the mixing layer, in reality, there is a temperature
profile in the mixing layer and so the adiabatic wall temperature will
be lower than the mean temperature of the mixing layer. This results
in a higher cooling effectiveness. Furthermore, the influence of the
oncoming boundary layer has been neglected, which is important for
the interaction between the cooling gas and the main flow.
Nevertheless, the experimental investigations of turbulent flows
basically show good agreement with this simple approach [2]. In the
following [Eqs. (16-18)], a correlation factor will be developed
based on Eq. (15). Starting from a known solution, in which all
physical effects are captured, this correlation factor describes the
effect of changing flow conditions. Finally, this results in one curve
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for the cooling effectiveness as a function of the correlation factor,
which is independent of the freestream parameters and the blowing
parameters. This approach is true provided that similar flowfields are
considered.

According to Eq. (15), the cooling effectiveness shows the
following dependency for the same gases as the cooling gas and in

the main flow:
VX 1
= . 16
n=f ( s Ree) 16)

Two effects have to be considered to extend this dependency to the
influence of the oncoming boundary layer and its thickening
resulting from the cooling gas injection. First, the boundary layer is
initially thickened at the slot position and this thickening decreases
relative to the undisturbed boundary layer with the regular boundary-
layer growth, which is proportional to x%°. Second, the gradients
within the boundary layer decrease with increasing distance from the
leading edge to the slot position, x,, which leads to a weaker heating
of the cooling gas and, thus, a higher cooling effectiveness. This
effect has been covered by an empirically determined reference
length, x,.; = (x,)""1%, with x,.; and x, in meters. In the strict sense,
this reference length only holds for the considered geometry and the
considered range of the slot position, x,, ranging from 0.055 up to
0.565 m. Finally, these two effects result in an additional parameter,
(x/xref)o's'

Moreover, the reference enthalpy method is applied to include
compressibility effects [2]. Here, the temperature dependent
parameters, that is, the density and the viscosity, are evaluated at the
reference temperature 7*:

T+ =0.28T, + 0.72T, a7

By applying this method to the correlation [Eq. (16)], we obtain an
additional term: (o*1u*)%(p,p,)~"3. This factor is equal to the
square root of the Chapman—Rubesin factor, C*, which describes the
thermal viscosity effects in compressible boundary layers [21].
Similar to the Reynolds, Mach, and Prandtl numbers, the Chapman—
Rubesin factor is a relevant similitude parameter for supersonic
boundary layers without a pressure gradient. Finally, we obtain the
following definition of the correlation factor:

VX1 X "
§= Fs \/Re, \/:ef\/c_ (1

which is used to correlate experimental and numerical data for a
variety of conditions in Sec. VI.

It is worth noting that another simple physical model of the film
cooling also leads to the same correlation factor given in Eq. (18).
This model is based on estimating the energy transport into the
cooling gas layer as a heat flux from the main flow. Thereby, the heat
flux into the cooling gas layer is determined by assuming this heat
flux to be equal to the heat flux of an undisturbed laminar boundary
layer starting from the slot position. The reference wall temperature
for determining this heat flux is set as the local cooling gas
temperature. Contrary to the model described earlier, this heat
conduction model does not consider a mixing process between the
cooling gas and the main flow.

IV. Experimental Setup
A. Model

A wedge-shaped setup is used for the experimental model (Fig. 3).
The test surface has a 30 deg angle of attack to the freestream for this
reference configuration. The model is equipped with up to 30 coaxial
thermocouples and 20 pressure gauges to determine the heat flux and
pressure distribution, respectively [22]. Moreover, black polyvinyl
chloride with a high emission factor was chosen as a surface material
to allow infrared measurements. An infrared camera was used to
achieve a qualitative overview of the temperature distribution on the
surface. The inclined plate has a width of 350 mm and a length of

Fig. 3 Model with sharp leading edge: 1) support structure, 2) test
plate, 3) probe positions, and 4) blowing slot.

250 mm in the streamwise direction. In general, the slot length in
spanwise direction is 120 mm. Slots of shorter length have been used
to investigate the influence of a finite slot length. The different slot
configurations investigated experimentally and numerically and the
corresponding results are described in Sec. VI. The notation of the
geometrical parameters is given in Fig. 1.

B. Test Facility

For the experiments, the shock tunnel TH2 of the Shock Wave
Laboratory is employed. The shock tunnel can be operated in the
helium-driven mode or with a detonation driver [23,24]. Low
enthalpy conditions that ensure perfect gas behavior are employed
for the experiments. The corresponding freestream values are listed
in Table 1. To determine the blowing ratio and the correlation factor,
respectively, the flow conditions at the boundary-layer edge have to
be known. To achieve these values, the flow conditions behind the
front shock of the model are determined by assuming ideal gas
behavior. This is justified by the relatively low total temperatures of
the test flow. These values behind the shock are listed in Table 1 fora
deflection angle of 30 deg and are used as the freestream conditions
on a flat plate for the numerical simulation. Previous experimental
studies have shown constant freestream conditions and a constant
blowing ratio during the measuring time of about 2 ms [25].

V. Numerical Method

A. General Description

For the numerical simulation, a computational fluid dynamics
(CFD) code has been developed to solve the two-dimensional
compressible Navier—Stokes equations for ideal gases. The solution
method uses a Cartesian grid with nonequidistant grid cells. In
general, the calculation is divided into two parts. First, the Navier—
Stokes equations are simplified by neglecting the viscosity terms.
This leads to the Euler equations presented in the conservative form
in Eq. (19):

U DF(U)  9G(U) _

ar 0x dy 0

P pu v

2

pu pu-+p puv
v=| ™| Fw= . Gw)=

ov pU pv2+p

E u(E+ p) v(E+p)

(19)

These homogeneous partial differential equations are solved by
assuming constant parameters in the grid cells. By using an exact
Riemann solver, the fluxes at the cell interfaces are determined by the
weighted average flux method (WAF) [26]. These fluxes and the
values of the former time step, n, allow the determination of the
solution vector of the new time step, n + 1, by employing an explicit
formulation of the following form:

Uﬁl =U}; + (AI/AX)(FF%,‘ —Fi))

+ (At/AY) (G =Gy jy1) (20)



HEUFER AND OLIVIER 2745

Table 1 Flow conditions

Condition Ia Condition Ib

Freestream  Behind front Freestream Behind front
(00) shock (e) (00) shock (e)
Ty, K 1110 1110 1420 1420
u, m/s 1470 1150 1690 1310
p, Pa 435 13,740 375 12,540
T,K 80 4388 96 620
T, K —_— 293 —_— 293
Re, 10°/m 5.3 43 3.58 3.0
Ma 8.3 2.6 8.4 2.6

The WAF scheme is second-order accurate in space and time,
whereby oscillations of the solution in regions of high gradients are
limited with van Albada’s method. The time step, At, is determined
by the Courant—Friedrichs—Lewy (CFL) condition. After the Euler
equations are solved, the viscous terms are taken into account in a
second step by solving the ordinary differential equations of the
following form:

d£ =H(U) (21)
dt

with

0

i (R) + 2 (Ry)
= (Ry) + % (Ry)
4x (Rs) + 2 (Ro)
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ST N3 9x 30y 7 dy  ox ox
Ro=un 24 ) 4y (220 200y 0T
6=l dy = ox 7738y 30x dy
Thereby, the ordinary differential equation is solved by using a
two-step Runge-Kutta scheme. The velocity and temperature
gradients on the right-hand side of Eq. (21) are determined applying a
central difference scheme. The viscosity, 1, is given by Sutherland’s
law, which is valid for perfect gas behavior. According to [19], the
deviation between the viscosity given by the Sutherland’s law and
the viscosity resulting from an equilibrium air model is negligible for
temperatures of up to 2500 K. Chemical effects such as dissociation
and recombination can still be neglected for the considered
temperatures of up to 2080 K. The thermal conductivity, k, is

determined by assuming a constant Prandtl number. For air, the
Prandtl number is set at Pr = 0.72.

B. Boundary Conditions and Grid

To reduce the numerical complexity as much as possible, the
simple case of a flow over a flat plate is considered. The inflow
conditions are set at the values behind the front shock at the leading
edge of the ramp, as listed in Table 1. The flow conditions at the wall
in the numerical calculation are so defined as is typical for a flat plate
with no slip-wall condition, thatis, the velocities are equal to zero and
the pressure is equal to the pressure in the cell next to the wall.
Furthermore, the temperature can be set at a fixed value for an
isothermal wall condition. Otherwise, the adiabatic wall condition is
applied. The outflow parameters are determined for zero-gradient
boundary conditions.

For the numerical simulations, the computational domain has been
divided into three parts (Fig. 4). In all parts, rectangular cells are used.
The region nearest to the wall (I) features a cell height of Ay =

6.25 - 107% m and an aspect ratio of Ax/ Ay = 8, which captures the
interaction between the oncoming boundary layer and the cooling
gas. The second area (II) covers the outer part of the boundary layer
where the cell size is doubled and the aspectratio regarding region I is
constant. The upper part of the computational domain (III) covers the
region of small gradients, so that a coarser resolution with a cell
height of Ay =2.5- 107> m and an aspect ratio of 8 is sufficient in
this region. To prove the grid resolution, the flowfield has been
simulated with a halved cell size and a halved aspect ratio in all
regions (I-III). Concerning the cooling effectiveness, the different
grid resolutions deliver the same results so that the computations
presented in Sec. VI are performed for the coarser grid (Fig. 5).

The blowing opening is simulated in two ways. First, as a simple
approximation, the blowing opening is considered as a boundary
condition (BC) under the assumption of a constant cooling gas
temperature and constant blowing ratio along the slot. Moreover, the
pressure at the blowing slot is assumed to be equal to the pressure in
the flowfield so that the density and the velocity of the cooling gas at
the slot position can be determined. Second, the flow in the injection
slot has been simulated as part of the whole flowfield (complete slot,
or CS). For the low blowing ratios considered here, a separation
occurs in the injection slot just below the slot opening. This leads to a
somewhat different flow topology. However, by comparing the
cooling effectiveness for the cases with and without detailed
numerical simulation of the flow in the injection slot, it becomes
obvious that the detailed numerical slot simulation does not
measurably affect the cooling effectiveness downstream of the slot
(Fig. 5). For this reason, the slot has been simulated as a boundary
condition (BC) in the computations presented in Sec. VI.

VI. Experimental and Numerical Results

The aim of the present study is to investigate the influence of the
cooling gas injection on the flowfield in laminar supersonic flows. To
characterize the influence of the important parameters, these
parameters have been successively varied in a wide range. The
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Fig. 5 Validation of the grid resolution and injection modeling for
condition Ib (see Table 1).



2746 HEUFER AND OLIVIER

results of these investigations are presented in the following
subsections.

A. Results for the Case Without Cooling

As mentioned, the flat plate without cooling serves as the reference
case to validate the numerical method and to determine the reference
heat flux needed in Eq. (6). Figure 6 shows a comparison of
experimental heat flux values determined from thermocouple data
with a formula valid for a laminar boundary layer [19]. The heat
fluxes derived from the thermocouple measurements vary between
+10% of the average value. This scattering of the heat flux data is
caused by the relatively low heat flux values downstream of the
leading edge. According to Eq. (6), a different uncertainty is
expected for the cooling effectiveness. Specifically, uncertainties in
the sensitivity and in the material properties of the single sensors are
canceled out because of two reasons. First, the cooling effectiveness
is determined by the ratio of the heat fluxes with and without cooling,
that is, with the same thermocouples. Second, the heat flux is directly
proportional to the material properties and the sensitivity, so that
these values drop out in Eq. (6). Furthermore, the uncertainty in the
cooling effectiveness behaves inversely to the cooling effectiveness
itself. According to Eq. (), the standard measurement uncertainty in
the cooling effectiveness for a variation of the measured heat fluxes
of £10% amounts to Ay = (1 —1)(£0.1)(2)*, that is, for high
cooling effectiveness the uncertainty in the determined effectiveness
is low. In contrast, higher uncertainties in the heat flux measurements
for low heat flux levels and, as a result, for high cooling effectiveness
might appear due to inferior signal-to-noise ratios. According to the
previous formula, the largest error for the cooling effectiveness
occurs for n =0 and is An = %0.14. This behavior of higher
uncertainties with lower cooling effectiveness becomes obvious
through the increasing scattering of the experimental data with
decreasing cooling effectiveness (seen later in Figs. 15 and 16).

Furthermore, the velocity and temperature profiles from the
numerical simulation can be compared with the solution given by van
Driest for a laminar boundary layer on a flat plate [20]. Figure 7
presents a comparison of the simulation and the van Driest solution at
distances from the leading edge of x =50 and 90 mm. Good
agreement is obtained for the velocity and temperature profiles for
both positions.

B. Influence of the Cooling Gas Injection on the Flowfield

The main principle of the film-cooling process as shown in Fig. 1 is
to add mass to the boundary layer by injecting the cooling gas. This
leads to a thickening of the boundary layer, which causes a deflection
of the main flow. The flowfield found from the numerical simulation
presented in Fig. 8 for a blowing ratio of F = 0.13 shows exactly
these effects. The main flow deflects at about 4 mm in front of the
blowing opening, and the boundary-layer thickness increases as
expected. In front of the blowing opening, a separation bubble is
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Fig. 6 Wall heat flux distribution along the flat plate for the case
without cooling, condition Ib.
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Fig. 8 Influence of the cooling gas injection on the flowfield,

condition Ib, CFD.

formed by a large vortex in the subsonic part of the boundary layer. In
addition, two small vortices are visible at the edges of the blowing
opening. These vortices are relatively small because of the low
injection velocity.

Moreover, the injection of the cooling gas strongly affects the
velocity and temperature profiles downstream of the injection. Right
next to the blowing opening, the wall temperature and velocity
gradients are reduced to nearly zero. Further downstream from the
opening, these gradients increase again until the profiles show the
values of an undisturbed laminar boundary layer. This becomes
apparent in Figs. 9 and 10, in which the Levy-Lees coordinate
transformation is applied to compare the velocity and temperature
profiles at various positions downstream from the slot.

Furthermore, the injection of the cooling gas has an effect on the
outer flow. Ideally, the disturbances caused by the injection of the
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cooling gas should be small to achieve an optimum cooling
effectiveness. A comparison of the pressure distribution and
schlieren photographs for the cases with and without cooling shows
the intensity of the induced disturbances. With regard to a strong
blowing ratio, the injection would cause a bow shock in front of the
blowing opening [27], which would lead to a higher static pressure
and higher thermal loads behind this shock.

Pressure measurements presented in a previous work show no
dependency of the pressure distribution on the cooling gas injection
[25]. The schlieren photographs confirm the results of the pressure
measurement. The deflection of the outer flow upstream of the
blowing opening causes a compression wave, whereas the pressure
drop behind the slot induces an expansion wave. By assuming weak
disturbances, the angle of these waves with respect to the surface can
be determined by the Mach angle:

sino = 1/Ma, (22)

Knowing the Mach number behind the front shock listed in
Table 1, this results in a wave angle of 22.7 deg. Figure 11 shows a
schlieren photograph for a blowing ratio of F' = 0.096. From this, a
wave angle of approximately 23 deg is measured, which validates the
assumption of a weak pressure wave initiated by the cooling gas
injection.

The main aim of the experiments is to demonstrate the feasibility
of film cooling in supersonic flows and to investigate its potential in
heat reduction. Figure 12 exemplarily shows the experimentally and
numerically obtained heat flux distribution along the flat plate for the
case with cooling compared with the heat flux distribution for the
case without cooling. Depending on the blowing ratio, the heat flux
decreases a short distance upstream of the blowing opening due to the
injection-induced separation and it reaches its minimum at the slot
position. Further downstream from the blowing opening, the heat
fluxes increase until they reach the values of the heat flux distribution
for the case without cooling. According to Eq. (6), the cooling
effectiveness behaves inversely to the heat flux distribution shown in
Fig. 12.

C. Influence of the Blowing Ratio

To interpret the experimental results correctly, the flow behavior
in the test section before the actual measuring time has to be known.

front shock

injection slot

expansion

compression

Fig. 11 Schlieren visualization of injection-induced disturbance.
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Fig. 12 Typical heat flux distribution in the case of cooling, F = 0.096,
condition Ib.

First of all, it is not possible to switch on the cooling gas mass flow
during the experiment because of the short test times in a shock
tunnel. Secondly, the experimental setup requires an almost
evacuated test section. That means that, before the experiment, the
cooling gas is injected into the evacuated test section. This leads to a
certain settling pressure in the so-called blowing chamber, which is
directly installed underneath the blowing slot. While the flow
establishes itself, the freestream static pressure increases, which, in
turn, leads to an increasing pressure in the blowing chamber. For very
low cooling gas mass flows, the pressure increase in the blowing
chamber is not fast enough to establish a constant cooling gas mass
flow during the measuring time. The equivalent blowing ratio is
defined as the minimum blowing ratio, F;,. An upper limit for the
blowing ratio is also defined. Strong disturbances resulting from high
blowing ratios may cause the transition from a laminar to a turbulent
boundary layer. In this case, the wall heat flux downstream of the
injection increases rapidly and the cooling effectiveness becomes
negative, that is, the wall is heated up more than for the case of the
laminar flow without cooling. For these blowing ratios larger than the
critical blowing ratio, F_, the infrared camera detects a hot area
behind the slot that indicates the boundary-layer transition (Fig. 13).
A critical blowing ratio of F; = 0.144 has been determined for a
slot width of s = 0.5 mm and a blowing angle of 2 =90 deg,
which, according to Eq. (23), corresponds to a critical momentum
ratio of M = 0.013.

Presumably, the blowing momentum perpendicular to the wall is
the characteristic parameter for quantifying the range of the blowing-
induced boundary-layer transition, which is directly linked to the
blowing ratio for fixed flow and cooling gas conditions. For all the
following results, the normal blowing momentum is less than the
critical one so that the flow can be regarded as fully laminar.

Within these experimental limits of F_;, =0.02 and
F ;. = 0.144, the cooling effectiveness increases with an increasing
blowing ratio and it decreases with an increasing distance from the
blowing opening (Fig. 14). Atlow blowing ratios, the dependency of
the cooling effectiveness on the blowing ratio is approximately linear
and asymptotically approaches the value of 1 at higher blowing
ratios. The numerical results (CFD) are confirmed by the
experiments shown in Fig. 15, in which the cooling effectiveness
is plotted vs the correlation factor given in Eq. (18). Obviously, the

| F <Feit |

| F > Forit |

Transition zone

18°C 23°C BT
Fig. 13 Boundary-layer transition due to high blowing ratios.
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Fig. 15 Comparison of CFD and experiment for different blowing
ratios, s = 0.5 mm, condition Ib.

different results shown in Fig. 15 are well correlated with this factor.
In the literature concerning cooling turbine blades, the cooling
effectiveness is typically presented as a function of the
nondimensional running length, x'/s, for a given blowing ratio.
Equation (18) can also be rewritten as

xX'/s 1 X
—A/C* 23
F /Reg \ Xyt @3)

According to Eq. (23), the parameter x'/s is not the only scaling
parameter for the cooling effectiveness. For incompressible and
compressible flows, the Reynolds number with the slot width as
reference length Re, has to be taken into account. Additionally, for
compressible flows, the correlation factor and, as a result, the cooling
effectiveness also depend on the Chapman—Rubesin factor.

g:

D. Influence of the Momentum Ratio

Concerning the cooling of turbine blades, the blowing geometry
substantially affects the cooling effectiveness. In this case, the
turbulence level in the turbulent boundary layer is influenced by the
momentum ratio, M [Eq. (2)]. Low momentum ratios perpendicular
to the wall cause small disturbances in the oncoming boundary layer
and thus cause a weaker increase of the turbulence level due to the
cooling gas injection. Finally, a low turbulence level leads to high
effectiveness, because the cooling gas mixes less with the main flow.
For this reason, many investigations concerning the cooling of
turbine blades [7-9] have been performed to optimize the film
cooling by lowering the blowing angle and shaping the exit geometry
of the blowing opening. In laminar flow, however, no turbulent

mixing appears and a low momentum ratio, supposedly, does not
significantly influence the cooling effectiveness. Moreover, the
blowing ratios and momentum ratios applied in this work are much
lower than for the case of cooling turbine blades. By neglecting the
influence of the cooling gas injection on the pressure distribution, the
momentum ratio can be approximated by the blowing ratio and the
ratio between the cooling gas temperature and the gas temperature at
the boundary-layer edge:

2 T
M=l ple _pple e (24)
Pelle U, Pe T,

According to Eq. (24), with the experimental value F; = 0.144,
the critical momentum triggering transition is M ; = 0.013. For
cooling turbine blades, blowing ratios ranging from ¥ = 0.5-2.0 and
density ratios of p./p, & 1 are typical, which leads to momentum
ratios ranging from M = 0.25-4.00. Even for high density ratios of
Pe/ Pe & 4, the momentum ratio in this study is still an order of
magnitude smaller than those typical for turbine blade cooling.
Finally, the low momentum ratios and the lack of turbulent mixing in
the boundary layer make the cooling effectiveness independent of the
momentum ratio or the blowing geometry. This has been determined
by numerical simulations and in experiments for the investigated
flow conditions (Fig. 16). With respect to the numerical simulations,
the slot width has been varied from s = 0.25 to 2.0 mm and the
blowing angle from 30 to 90 deg. In the experiments, the slot widths,
s; = 0.5 mm and s, = 1.0 mm, and blowing angles, €2, = 45 and
90 deg, have been considered. All other parameters have been kept
constant. For a constant cooling gas mass flow, that is,
Fs = constant, the same cooling -effectiveness is achieved
independent of the slot geometry or the blowing ratio, that is, the
cooling effectiveness is independent of the momentum ratio. In
addition to varying the slot width s in the streamwise direction, the
slot length ¢ in spanwise direction has also been varied
experimentally to ensure the two-dimensionality of the flow
problem. For ¢ > 90 mm, the vortices at the edge of the blowing
opening no longer have a measurable effect on the cooling
effectiveness. Thus, all presented results achieved for a slot width of
t =120 mm can be regarded as two dimensional, at least for the
measuring section at the midspan.

Besides the slot geometry, the momentum ratio can be varied by
altering the temperature ratio between the cooling gas and the
mainstream. For numerical simulations, the cooling gas temperature
has been varied from 7, = 200 to 400 K for the fixed mainstream
temperature and blowing ratio. According to Eq. (24), this variation
is equal to a momentum ratio variation of +33% with respect to a
cooling gas temperature of 300 K. In agreement with the earlier
results, the change in the momentum ratio has no influence on the
cooling effectiveness; all considered cooling gas temperatures result
in the same cooling effectiveness. Because of higher cooling gas
temperatures, the absolute cooling effect decreases, that is, the
adiabatic wall temperature, T, ., increases and the term 7', — T, . in
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Fig. 16 Influence of slot geometry, condition Ib.
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Eq. (3) decreases. In contrast, the cooling capacity described by the
temperature difference 7, — T, also decreases because of the
increase in the cooling gas temperature. Thus, the ratio of both
temperature differences remains constant. Consequently, the cooling
effectiveness stays constant.

E. Influence of the Thermal Wall Conditions

Unlike in the performed experiments, the surface of a reentry body
is heated up to high temperatures during reentry. The maximum
theoretically possible wall temperature is the adiabatic wall
temperature. As detailed in the general description in Sec. II, the wall
temperatures for the adiabatic wall case can be correlated to the wall
heat fluxes for cold isothermal walls provided that the heat transfer
coefficients for the cases with and without cooling are equal.
According to Egs. (3), (3), and (6), the ratio of the heat transfer
coefficients is given by the following expression valid for the
considered case T, = Ty and T, = Ty 1

h _ @ . Taw.c - Tw — 1- MEq. 3) (25)
)"c ‘.Ic Taw.nc - Tw

1- MEq. (6)

To determine the cooling effectiveness according to Egs. (3) and
(6), the flow along a flat plate has been simulated numerically for
isothermal and adiabatic wall conditions. In Fig. 17, the cooling
effectiveness determined by Eq. (3) for the adiabatic case is
compared with the effectiveness determined by Eq. (6) for the case of
an isothermal wall of T, = 300 K. Downstream from the blowing
opening, no significant deviation occurs for either case. Thus, for the
conditions presented in this work, the cooling effectiveness
determined from the heat flux data for a cold wall case and the
cooling effectiveness determined for adiabatic wall conditions are
equal. Finally, according to Eq. (25), the heat transfer coefficients for
the cases with and without cooling are equal. Moreover, both
definitions for the cooling effectiveness [Eqs. (3) and (6)] can be used
for considering a stationary flight case. Within the considered range
of nearly perfect gas behavior, neither the total temperature nor the
recovery temperature do not affect this result.

F. Influence of Freestream Conditions

According to the definition of the correlation factor given in
Eq. (18), the conditions at the boundary-layer edge influence the
cooling effectiveness via the Reynolds and Mach numbers and the
static temperature. In this subsection, these parameters have been
varied to confirm this relation.

The Reynolds number of the freestream at the slot position has
been varied, on the one hand, by changing the distance, x,, of the
blowing opening from the leading edge. On the other hand, the unit
Reynolds number has been slightly changed. Analogous to a laminar
compression corner flow, the size of the separation bubble in front of
the blowing opening increases with an increasing Reynolds number
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Fig. 17 Comparison of the adiabatic and isothermal wall conditions,
Ma = 2.6, Re = 4.3 x 10° m~!, Fs = constant, CFD.

[28]. This effect becomes obvious in Fig. 18 by the increasing
cooling effectiveness in front of the cooling slot with increasing
Reynolds numbers, which is not directly caused by the cooling gas
but by reduced wall heat fluxes within the separation bubble. The
cooling effectiveness downstream of the slot shows a weaker
decrease for larger running lengths and constant unit Reynolds
number, because the thicker boundary layer results in smaller
gradients within the boundary layer. In this case, the lower velocity
and lower temperature act at the outer edge of the cooling gas layer,
leading to lower gradients across the cooling layer. Ultimately, this
results in a reduced heating of the cooling gas, which leads to an
increasing cooling effectiveness with increasing running length. For
a constant running length and higher unit Reynolds number, the
oncoming boundary layer is thinner; consequently, the gradients
within the boundary layer are steeper, which should actually cause a
greater heating of the cooling gas. However, this effect of greater
heating of the cooling gas is counterbalanced by the fact that,
according to Egs. (12) and (13), the mass flow of the hot gas entering
the mixing layer with respect to the cooling gas mass flow is less than
for a lower unit Reynolds number in the case of a constant blowing
ratio. To summarize, the cooling effectiveness increases with
increasing unit Reynolds number.

For a constant Reynolds number and blowing ratio, the influence
of the Mach number has been investigated in the range of
Ma =1.6-4.0. The numerical simulations are performed for
adiabatic wall conditions. Unlike the previously cited investigations,
the variation of the Mach number results in coupled effects on the
relevant parameters. With an increasing Mach number, the recovery
temperature of the main flow increases for a constant, static
freestream temperature or the static temperature decreases for a
constant recovery temperature. Furthermore, the thickness of the
oncoming boundary layer increases with increasing Mach number.
Even for constant Mach numbers, that is, a constant temperature ratio
but different static and total temperature levels, the boundary-layer
profile of the oncoming boundary layer changes with the temperature
level due to different viscosity and density levels in the boundary
layer. These temperature viscosity effects are typical for
compressible flows. The influence of these temperature viscosity
effects as well as the compressibility effects associated with them are
described by the square root of the Chapman—Rubesin factor in
laminar flows without cooling gas injection [21].

The blowing parameters (F, 1., and T,.) and the Reynolds number
of the freestream have been kept constant for the following
discussion. As shown in Fig. 19, a lower cooling effectiveness is
achieved for a lower Mach number. The cooling effectiveness also
shows a slight difference (Fig. 19) in the case of an equal Mach
number and different static and recovery temperatures, respectively.
Comparing the lower Mach number case with the higher Mach
number case under the condition of an equal recovery temperature,
the same tendency is observed for the low Mach number compared
with the higher Mach number with the equal static temperature.
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Fig. 18 Variation of the Reynolds number, F = 0.065, s = 0.5 mm,
condition Ia, CFD.
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Fig. 19 Influence of the Mach number and temperature viscosity
effects on the cooling effectiveness, CFD.

In Sec. III, it has been assumed that one of the main parameters
influencing the cooling effectiveness is the mass flow of the
mainstream entering the mixing layer, which is estimated by the mass
flow of aregular boundary layer starting from the injection slot. Thus,
this mass flow also depends on temperature viscosity effects just like
a boundary layer without cooling gas injection. These temperature
viscosity effects are described by the square root of the Chapman—
Rubesin factor. With an increasing Mach number and an increasing
freestream static temperature, the Chapman—Rubesin factor
decreases, whereby the Mach number influence is stronger within
the investigated range of flow conditions. Because of this, the cooling
effectiveness increases with an increasing Mach number.

In Fig. 20, different results for different freestream conditions are
plotted vs the correlation factor given in Eq. (18). In agreement with
the experiments in which the flow conditions have been varied by
changing the angle of attack of the flat plate, the numerical
simulations show that the correlation factor captures all effects of
changing flow conditions.

G. Comparison with Data from Literature

So far, the correlation factor developed in Sec. III has been
validated with our own numerical simulations and experiments. In
the following subsection, the presented results will be confirmed by
comparing them with the data from literature. In [29], film cooling
for laminar flow conditions and tangential slot injection was
experimentally investigated for a Mach number of Ma, = 10, a
unit Reynolds number of Re, =6 x 10° m~!, a stagnation
temperature of 7, = 1290 K, and a distance of the slot to the
leading edge of x, = 33 mm. Furthermore, a theoretical approach
was presented correlating the data for n > 0.5. For < 0.5, the data
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Fig. 21 Comparison with data from literature.

T

Present study (laminar)
12F——A-=-~--~- Ref. 2 (turbulent)
Ref. 11 (turbulent)

7/
o

N

0.8

n
2
L6
;
/

0.6F
N o \
0.4F >
z R N
0.2F >
: L el L L aaaaal L e |
90" 10° 10’ 10?
x/s

Fig. 22 Comparison of laminar and turbulent film cooling,
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differ from the correlation function, whereby this difference
increases with decreasing cooling effectiveness. The considered
blowing ratios range from F =0.05 to 0.40 for slot heights
between 0.8 and 1.6 mm. Figure 21 shows the results from [29]
correlated with Eq. (18) in comparison with the data acquired in
present study. Obviously, a good agreement between the data from
[29] and the present study is achieved even for < 0.5. Unlike the
present study, no boundary-layer transition has been reported in
[29], even for significantly higher blowing ratios, which is probably
caused by the absence of a blowing velocity component
perpendicular to the wall.

The comparison of results for laminar and turbulent flow
conditions impressively shows the difference between these two
types of flow (Fig. 22). In turbulent flow, the cooling effectiveness
decreases much faster with increasing distance from the blowing
opening than it does for a laminar boundary layer due to the turbulent
mixing between the cooling gas and the main flow. For the same
blowing and freestream conditions, the attainable cooling length is
about an order of magnitude larger for the laminar case than for the
turbulent case. To compare the data for the laminar and turbulent
cases, that is, to relate them to the same Mach and Reynolds numbers,
ithas been assumed that the correlations given in [2,11] are also valid
for the flow conditions considered in this paper.

VII. Conclusions

An enormous database of theoretical, experimental, and numerical
data exists for film cooling in turbulent flow. However, very little
data can be found in the literature for laminar flow conditions. The
present study fundamentally investigates film cooling on a flat plate
with a slot injection in laminar supersonic flows. In contrast to a
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turbulent boundary layer, no turbulent mixing exists in the laminar
case, and so the interaction between the main flow and the cooling
gas behaves differently. In a turbulent flow, the mixing between the
main flow and the cooling gas strongly depends on the blowing
momentum perpendicular to the wall. This results in a decreasing
cooling effectiveness with a higher blowing momentum
perpendicular to the wall. Because of the lack of turbulent mixing
in laminar conditions, the cooling effectiveness does not depend on
the blowing momentum perpendicular to the wall, provided that the
laminar boundary layer is not significantly disturbed. Moreover, in
our study, the considered blowing momentum ratio between the
cooling gas and the mainstream is about an order of magnitude lower
than that typical for cooling turbine blades. Consequently, our
experimental and numerical investigations show no influence of the
blowing parameters, that is, the blowing ratio (F = 0-0.15), the slot
width (s = 0.25-2.00 mm), the blowing angle (2 = 30-90 deg),
and the cooling gas temperature (T, = 200-400 K), on the cooling
effectiveness, provided that the absolute cooling gas mass flow with
respect to the specific mass flow in the main stream (F's) is constant.
Furthermore, as expected for a given cooling gas mass flow, the
attainable cooling effect is significantly higher for a laminar flow
than for a turbulent flow. For the laminar case, the cooling is limited
by a critical blowing ratio for which boundary-layer transition occurs
downstream from the injection position due to high blowing ratios. In
this case, the heat loads to the wall rapidly increase and the surface is
heated up instead of being cooled down. In our study, a critical
blowing ratio of F; = 0.144 has been found for a slot width of
0.5 mm and for an injection perpendicular to the wall.

Varying the freestream conditions causes an increasing cooling
effectiveness with increasing Mach and Reynolds numbers in the
range of Ma = 1.6-4.0 and Re = 0.17 x 10°-2.4 x 10, which is
evaluated with the distance between the leading edge of the model and
the injection opening. This effect is covered by a theoretical model
resulting from a simple heat sink approach that describes the thermal
interaction between the cooling gas and the main flow. Finally, as the
most important result, a correlation factor derived from this theoretical
approach allows for the prediction of the cooling effectiveness under
different flow conditions. This correlation factor has been validated
by experiments and numerical simulations for the aforementioned
flow conditions. In addition, the validity of the correlation factor has
been proven by comparison with literature data. In summary, the
presented fundamental research has shown that the film-cooling
technique is highly effective under laminar flow conditions.
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